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Abstract— Improvements in characteristics of magnetic 
materials and switching devices have provided the feasibility of 
replacing the electrical buses with high-frequency magnetic links 
in small-scale micro-grids. This can effectively reduce the 
number of voltage conversion stages, size and cost of the micro-
grid, and isolate the sources and loads. To optimally design the 
magnetic link, an accurate evaluation of copper loss of the 
windings considering both the current waveforms and parasitic 
effects are required. This paper studies the copper loss analysis of 
a three-winding high-frequency magnetic link for residential 
micro-grid applications. Due to the non-sinusoidal nature of the 
voltages and currents, the loss analysis is carried out on a 
harmonic basis taking into account the variations of phase shift, 
duty ratio and amplitude of the waveforms. The high-frequency 
parasitic phenomena including the skin and proximity effects are 
taken into account. The maximum and minimum copper loss 
operating conditions of the magnetic link and their dependency 
on the phase shift angle and the duty ratio of the connected 
waveforms are studied. A prototype of the micro-grid including 
the magnetic link is developed to validate the theoretical analysis, 
evaluate the micro-grid efficiency and perform the loss 
breakdown. 
Index Terms—Copper loss, high-frequency, magnetic link, 
phase-shift converter, proximity, skin effects 
I. INTRODUCTION 
IGH-FREQUENCY magnetic links have attracted a lot of
research interests for their application in grid integration 
of renewable energy resources. The magnetic link is a multi-
winding high-frequency transformer which provides 
bidirectional paths for magnetic fluxes and power flows 
between different ports. As a feasible replacement for 
conventional electrical buses, it can be used to integrate 
renewable energies in smart grids [1]-[3]. It can reduce 
effectively the number of conversion stages and improve the 
conversion efficiency using lossless switching devices and 
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modern soft magnetic materials [4]-[6]. Other advantages are 
galvanic isolation and bidirectional power flow capability 
between different converter ports [6]-[8]. Fig.1 illustrates two 
renewable energy systems with and without the magnetic link. 
The dashed lines show that the power flow path from PV array 
to the battery has been reduced effectively with the use of the 
magnetic link. Therefore, employing the magnetic link can 
reduce the number of voltage conversion units, increase the 
system efficiency and reduce the system's size and cost. 
Another application of the magnetic link is in the conversion 
cells of the solid-state transformers (SSTs’) as presented in 
Fig.2 [9]. It can be seen that the magnetic link can be used as 
an interface in the dc-dc converter stage to reduce the number 
of conversion cells. To optimally design the magnetic link, the 
winding loss should be accurately evaluated considering the 
non-sinusoidal effects of voltage and current waveforms [10]-
[11]. This particularly is important in the case of SST 
application due to the modular structure and impact of the 
magnetic link on the system’s efficiency [12].  
     Due to the skin and proximity effects caused by the high-
frequency time-varying harmonics of non-sinusoidal currents, 
the current distribution in the wire cross section is non-
uniform [13]-[19]. Taking into account the dependency of 
these effects on the operating frequency, a frequency-
dependent resistance model was used to analyze the copper 
loss [14]-[18].To reduce the copper loss, Litz wires are 
recommended for high-frequency applications [14]-[19]. The 
loss evaluation of Litz wire windings is mainly based on either 
numerical [14], [15] or analytical [16]–[24] field analysis. The 
numerical methods can provide more accurate results although 
they are relatively complicated and computationally 
expensive. On the contrary, the analytical methods are simple 
for design purposes and can present reasonably good accuracy 
where Litz wire strand radius remains below the skin depth 
[10], [25]. The analytical methods, in turn, can be divided into 
three groups [10]. A majority of works are based on Dowell’s 
work in 1966 on loss analysis of foil and round conductors 
using the Maxwell’s equations in the Cartesian coordinate 
[16]. The Dowell’s method for foil conductors was extended 
to the Litz wire windings of the same cross-section area and a 
porosity factor has been applied to the resultant equation to 
increase the accuracy [17]-[18]. The second approach known 
as the Ferreira method is based on the exact field solution of a 
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stand-alone round conductor using the Bessel functions [19]. 
The analysis was later extended to a complete winding [20], 
[21] and an expression was introduced using modified Bessel 
functions to improve the accuracy of method in high-
frequency applications [22].  In the third group, the conduction 
loss is calculated by using the complex conductor permeability 
[23]. The method provides a good accuracy although it is 
complicated to determine the real and imaginary parts of the 
winding permeability [10].  The first two methods are widely 
used in the literature and their accuracy is compared in [21] 
and [24]. Both methods can provide good accuracy, especially 
where strand diameter is much smaller than the skin depth 
[10], [18], [21]. 
A detailed study on copper loss analysis of buck and 
flyback dc-dc converters under variable duty ratio based on 
the first analytical method is presented recently [26]-[28] 
although none of these studies deal with the multiple winding 
transformer supplied by the square wave voltages with 
simultaneous variation in the phase shift, amplitude and duty 
ratio. This can be applied to the multi-port phase shift 
converters with bidirectional power flow due to their recent 
applications in the solid state transformers (SSTs) and 
integration of renewable energy systems [9],[29]. 
In this paper, a general method of copper loss calculation in 
the multi-winding magnetic links supplied by the variable 
phase shift, amplitude, and the duty ratio square-wave 
voltages is proposed [30]. The method can be applied to the 
multi-winding magnetic links with the square-window 
magnetic cores for energy integration in micro-grids or SST 
applications. In this paper, it is particularly used for a 
residential micro-grid application as it provides more 
flexibility for study due to the asymmetrical operation of the 
converter ports. The maximum and minimum loss conditions 
are defined for two common micro-grid operation modes 
known as dual active bridge (DAB) and triple active bridge 
(TAB). To validate the analytical method, a prototype of the 
magnetic link has been designed and developed. The copper 
loss of all windings is measured experimentally and compared 
to the analytical calculations. The resultant loss is further used 
to perform the loss breakdown of the converter for both DAB 
and TAB operation modes and obtain the efficiency profiles. 
To measure the winding resistance and leakage inductance of 
the windings as a function of frequency, a set of harmonic-
based differentially and cumulatively series-coupling tests 
under the nominal voltage and current is conducted.   
 
II. STRUCTURE OF THE PROPOSED RESIDENTIAL MICRO-GRID 
 
      The proposed micro-grid topology including a three-
winding magnetic link is illustrated in Fig.3 and 
experimentally developed as presented in Fig.4. As can be 
seen, the proposed topology includes four ports. Port one, two 
and three are linked together through the magnetic link, 
forming a TAB phase shift converter. They are used to convert 
the dc voltage of fuel cell, PV and inverter bus to a high-
frequency ac voltage fed to the windings of the magnetic link. 
Port four links the battery to the fuel cell bus to store the 
surplus energy of the system and release it when is required. It 
also operates in the standby mode to balance the voltage of 
fuel cell bus in transients due to the slow dynamic response of 
the fuel cell. The system is connected to the residential load 
and grid via a single phase bi-directional inverter and is 
designed to supply a 4.5 kW residential load. Two digital 
signal processors (TMS320F28335) are used to control the dc-
dc converters and inverter at the device level and the system 
level control and energy management, are performed by a PC 
system. To control the power flow from the PV and fuel cell 
ports to the inverter port, the voltages of port two and three are 
shifted respected to the port one by leading phase angles of 
φ21 and φ31 respectively. 
     In the PV port, the switching devices of H-bridge dc-ac 
converter are shared with an interleaved current-fed boost 
converter. The interleaved boost converter is used to maintain 
the maximum power point tracking (MPPT) through duty ratio 
control while the dc-bus voltage regulation is carried out by 
Fig.1. Comparing two micro-grids, (a) without, and 
 (b) with the magnetic link   
Fig.2. Application of the magnetic link in the (a) TAB or (b) QAB dc-dc conversion cells as 
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Fig.4. Experimentally developed residential micro-grid 
 
using the phase shift angle φ31. The voltage on the PV port 
changes reversely with the duty ratio to keep the equal volt-
seconds on all three windings of the magnetic link and 
guarantees the ZVS operation of TAB converter ports. The 
proposed micro-grid can operate in various operation modes 
based on the power flow directions and active ports. The 
magnetic link facilitates the operation of the system in 
different modes with various energy management scenarios 
under both grid-connected and islanded conditions. More 
details on the system operation will be published in the future 
works and this study is focused on the copper loss analysis of 
the magnetic link. 
 
III. COPPER LOSS ANALYSIS METHOD 
 
     Due to the linear behaviour of copper, conduction loss 
analysis is carried out based on the harmonic contents of the 
currents in the windings of the magnetic link [10], [13], [26], 
[27]. Therefore, the total copper loss can be defined by 
summation of resultant loss of each harmonic component of 









                  (1) 
where nCuP ,  is the resultant copper loss of the nth harmonic 
and h the number of harmonics that are effective in the loss 
analysis.  
     The skin and proximity effects on the windings resistance 
can be considered separately for copper loss analysis of each 
harmonic due to their orthogonality principle [31].  Their 
effect is modelled as a frequency-dependent resistance for 
each harmonic in the case of non-sinusoidal currents. 

















                           (2) 
where Rac,n is the ac resistance of the Litz-wire winding for the 
nth harmonic and In the peak value of the nth harmonic of the 
non-sinusoidal current in the winding. To calculate the copper 
loss using (1) and (2) for the proposed magnetic link, the 
analytical methods for calculating the equivalent ac resistance, 
Rac,n , and the amplitude of each harmonic, In , are discussed in 
the following sections.   
 
IV. HARMONIC BASED ANALYSIS OF CURRENTS IN THE 
MAGNETIC LINK 
 
     The winding leakage inductances of the magnetic link are 
the main elements of power transfer between the ports in the 
proposed TAB converter. A T-model configuration of the 
three-winding magnetic link can be obtained by referring the 
leakage inductances of windings two and three to winding one 
as the reference. The magnetizing inductance is not considered 
in the model as it has a negligible effect on the power transfer 
between the ports due to the high-frequency range of the 
applied voltages [6]. The resultant model then can be 
transformed to the equivalent Δ-model to obtain the simplified 
TAB converter model as presented in Fig.5 [6]. The dc-bus 
and H-bridge converters are replaced with an equivalent 




Fig. 5  The Δ-model equivalent circuit the three winding magnetic link 
 
ports two and three are leading to port one (as the reference 
port) by phase shift angles, φ21 and φ31, respectively as 
presented in Fig.6. This allows the power to transfer from the 
fuel cell and PV ports to the inverter port. A zero voltage 
angle, Ω, is introduced in the PV port ac voltage, v3, to 
maintain the MPPT. Therefore, the amplitude of the dc voltage 
on the PV port, V3, should be varied accordingly to maintain 








             (3) 
 
where V3-min is the minimum value of the voltage on the PV 
port. The duty ratio, D, can be defined as 
 
)/1( −=D                         (4) 
 
    In this paper, the duty ratio of the fuel cell and inverter ports 
is kept constant (D=1, Ω=0) due to the constant voltage of 
their buses.  
     A harmonic based analysis of non-sinusoidal currents is 
required to calculate the copper loss in the proposed magnetic 
link [13], [26], [27]. The winding currents are analyzed using 
the equivalent Δ-model. Therefore, the fundamental-harmonic 
phasor diagram of the currents and voltages in the equivalent 
Δ-model, presented in Fig.7, is used as the reference in the 
following analysis. The high-frequency square wave voltages 
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where Vk,n is the amplitude of the n-th harmonic of the voltage 
across winding k. For ports one and two, due to their constant 
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For port three, due to the variable amplitude and duty ratio, it 
























































Fig.7 Fundamental phasor diagram of the TAB converter parameters  
 
     As can be seen in the equivalent model, i1=i13-i21, i2=i21-i32 
and i3=i32-i13. Therefore, to analyze the current in winding 
one, i1, the currents i21 and i13 should be calculated by using 
the voltage across inductors L21 and L13. The voltage v21 can be 
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The current i21 can then be calculated taking into account π/2 














           
(11) 
 
where I21,n is the amplitude of the nth harmonic, i21,n, and can 










=                 (12) 
Considering φ31 as the phase shift angle between v3 to v1, I13,n 
as the amplitude, and (βn-π/2) as the phase angle of the nth 
harmonic, the current, i13, in the winding of L13 can be defined 
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Finally, the nth harmonic of the current in the source v1 and in 
the winding one of the magnetic link i1,n (refer to Fig.3) can be 
calculated by using (11) and (13) as 
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where I1,n , and ψ1,n are the amplitude and the phase angle of 
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The amplitude of each harmonic of the current in winding two, 
nI ,2 , and the phase angle, n,2 , and in winding three, nI ,3  and 
n,3 , can be calculated similarly. It can be seen from (5) and 
(7) that v1, v2 and v3 and consequently the resultant current in 
the windings only contain the odd harmonics. Once the 
harmonic contents of the current in the windings (i1,n, i2,n and 
i3,n) are determined, the ac resistance factor of each winding, 
Rac,n, related to each harmonic term should be defined for loss 
analysis. Next section provides the details of calculating ac 
resistance. 
 
V. CALCULATION OF AC RESISTANCE  
 
     The skin and proximity effects are considerable in medium 
and high-frequency applications. To reduce these effects, the 
twisted multi-strand enameled wires known as the Litz wire 
are commonly used. Considering these high-frequency effects, 
the ac resistance of a Litz wire winding is a function of 
frequency while the dc resistance is relatively constant and for 
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where N is the number of turns of a winding, ls the average 
length of one turn, ρcu the resistivity of copper, dstr the strand 
diameter and ns  the number of strands. 
     The skin and proximity effect losses related to each 
harmonic of the current can be modeled through a frequency-
dependent resistance, Rac,n [13]-[22]. The ratio of Rac,n to Rdc 
known as ac resistance factor, Fr,n, can be defined as  







, =                      (18) 
    In the case of using Litz wires, the skin and proximity 
effects are appeared in both strand and bundle levels [18].  
The bundle level proximity effect can be reduced effectively 
by twisting, while the bundle level skin effect needs more 
complex constructions [18] [25]. On the other hand, the strand 
level proximity effect is more considerable compared with the 
skin effects especially in the case of increasing number of 
layers [25]. The skin and proximity effects analysis in Litz 
wires are carried out based on two best-known analytical 
methods, the Dowell method, and Ferreira method. In the first 
method, the round conductors are replaced with the square 
conductors of the same area and then an equivalent foil 
conductor same as what Dowell analyzed is found. The one-
dimensional field analysis is applied to the foil to find the 
losses [16]-[18]. 
     The second approach is based on the field analysis of a 
single round conductor using the Bessel functions and some of 
its applications are proposed by Ferreira [19]-[22]. Both 
methods provide similar results and accuracy for small 
penetration ratios [13] although it has been shown that the 
second method provides more accurate results in high-
frequency applications [22]. Both methods are reviewed in this 
paper briefly although the first method is used in this research 
due to the simplicity and relatively low switching frequency 
(10 kHz) and penetration ratio.
 
 
     The first method is based on Dowell’s equation for high 
frequency winding resistance of round conductors. The 
equation for the ac resistance factor, Fr,n, of the mth layer of 
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η is the porosity factor of round conductor, d the conductor 
diameter, and p the distance between centers of two adjacent 
conductors. The skin depth of round conductor of the nth 
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where μₒ is the permeability of free space and f the frequency 
of the waveform. The simplified equation for ζn ≤ 2 can be 
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The round conductor equation (19) is adapted to the Litz wire 
applications by replacing the number of layers m and the 
penetration ratio ζn with the effective number of Litz wire 
layers ml and ζstr,n  from  
sl nmm =












(=                (25) 
where ηstr is the porosity factor of Litz wire [17].  
     In the second method (proposed in 1966), the skin and 
proximity effect losses of an isolated solid round conductor 
were evaluated using an exact solution of the internal and 
external magnetic fields [19] and further developed by 
Ferreira in 1990 [25], [31]. The closed form expression 
considering orthogonality of skin and proximity effects can be 
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(b) 
Fig.8 AC resistance factor as a function of wire diameter for: (a) different 
number of winding layers, and (b) various harmonics of the current in 
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where ber and bei are the real and imaginary parts of the first 
kind Bessel function and γn is the round conductor penetration 






 =         (29) 
The accuracy of the resultant equation later was improved by 
introducing a porosity factor as a correction for the magnetic 
field in (26) [32]. In the case of Litz wires, the skin and 
internal proximity effects were already determined in [19] 
based on the solid round conductor analysis presented in (26) 
and further improvements were applied by Ferreira [31]. To 
improve the accuracy in high-frequency applications, an 
expression was also introduced using exact Bessel functions 
[22]. The reduced expression applicable to low penetration 
ratios can be expressed as 
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with 
2)/( bssf rrnP =                       (31) 
where Pf , rs and rb are the packing factor, strand radius and 
bundle radius of Litz wire, respectively, and τ1,n and τ2,n are 
approximated by the first terms of their Taylor-series [21] as 
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This approximation for low penetration ratios ( 2n  ) is 
acceptable due to the utilization of Litz wires. Although the 
reduced equation (30) has presented good results for low 
penetration ratios, it loses its accuracy for higher values of 
penetration ratio. In [20], two porosity factors were applied to 
the equation to improve the accuracy. In [21], the external 
field of each strand is considered precisely and a more 
accurate equation was achieved. 
    It has been shown that the dc and ac resistances and 
consequently copper loss are tightly coupled to the 
temperature [33]-[35]. The dc and low-frequency resistance 
Rdc is affected by temperature due to the change in the copper 
resistivity ρCu. Applying a temperature variation component 
[1+α(T-T0)] the copper resistivity in (17), results in the 
following equation for dc and low-frequency resistance.  
))(1( 0,, 0 TTRR TdcTdc −+=       (34) 
 
where T0 is the reference temperature (normally 20 °C), T the 
actual winding temperature and α is the temperature 
coefficient of resistivity (for copper is 3.93×10-3 K-1). On the 
other hand, the ac resistance Rac is affected by the temperature 
in a different way due to the variation of both resistivity and 
penetration ratio. The ac resistance factor (Fr,n) for each 
harmonic content by applying the temperature variation 
element to the resistivity in (22)-(23) and doing some 

















    (35) 
where Fr,n,T0 is the ac resistor factor at the reference 
temperature T0 [33]. Therefore, the ac resistance as a function 
of temperature for nth harmonic of the windings current can 
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More details on the temperature effects on the estimated 
copper loss and accuracy improvement techniques can be 
found in [33]-[35]. 
   In this paper, the copper loss of the magnetic link is 
calculated based on the first method by using (19)-(25). 
 
VI. COPPER LOSS EVALUATION OF THE MAGNETIC LINK 
 
     This section reviews the copper loss calculation of the 
magnetic link considering all effective elements. As can be 
seen in (19)-(21), the harmonic frequency, strand diameter and 
number of winding layers have major effects on the ac 
resistance factor and consequently the copper loss. Fig.8 (a) 
illustrates the effect of increasing number of winding layers on 
the ac resistance factor. As can be seen the ac resistance of 
wire decreases by reducing the number of windings layers and 
using strands of less diameter. Fig.8 (b) shows the ac 
resistance factor, Fr,n for the five major harmonics of the 
converter currents. It can be seen that the ac resistance factor 
 
              
 
Fig.9 AC resistance, harmonic amplitude and copper loss of (a) winding one (W1), b) winding two (W2) and three winding three (W3) and (d) conduction loss of 
the windings one and three for zero voltage angle, Ω=0 to 3π/4 and φ31= 0 to π/2 
 
decreases for lower harmonic orders and smaller strand 
diameters. Therefore, reducing the operating frequency can 
reduce not only the switching loss but also the winding losses 
in the converters. 
 
A. Calculation of maximum copper loss  
 
    The maximum copper loss is important in the optimal 
design and thermal analysis of the magnetic link. According to 
the power flow equation of TAB converter, maximum power 
flow and RMS current in the magnetic link take place when 
the fuel cell and PV ports are transferring the maximum power 
(φ21=π/2, φ31=π/2)[4]-[7]. On the other hand, when the PV bus 
voltage, V3, is maximized and the duty ratio, D, is minimized, 
the amplitude of the fundamental component of the current in 
winding three increases and raises the loss. Therefore, the duty 
ratio is equal to its minimum value when the copper loss in 
winding three is maximized (D=0.25 and Ω=3π/4 in this case). 
The power losses of all windings were analytically calculated 
for the specified operation point and integrated to define the 
maximum copper loss of the magnetic link.  
     To consider the temperature effect, the copper loss is 
primarily calculated at the reference temperature. The actual 
temperature then is estimated assuming an almost linear 
relation between temperature and copper loss and 
proportionality of copper loss to the square of the output 
power, taking into account the maximum target temperature. 
Using this method avoids the computationally expensive finite 
element methods although, comparing the resultant losses and 
estimated steady-state temperatures to the experimentally 
measured values showed less than 10 % error. Finally, the 
simulations based on the analytical method have been repeated 
using the measured values of temperature to cancel the error 
resulted from estimated temperatures. Fig.9 illustrates the 
calculated value of ac resistance, Rac,n , the amplitude of 
harmonic In , and the resultant copper loss, Pcu,n, of each 
current harmonic in the windings. As can be seen, the copper 
loss is decreased when the harmonic orders increase as the 
effect of reduction in harmonic amplitude overcomes the 
increasing ac resistance. The calculated value of copper losses 
of windings one, two and three by using (1) are equal to 16 W, 
35 W, and 72 W, respectively. Therefore, the maximum 
copper loss of the magnetic link in this operation mode is 130 
W.  
 
B. Loss analysis under phase shift angle and duty ratio 
variation  
 
     To study the effect of variation of phase shift angle, φ31, 
and zero voltage angle, Ω, of the PV port on the copper loss, 
two common operation modes have been considered. 
      In the first operation mode, only the PV and inverter ports 
are active and the dc-dc converter operates in the DAB mode. 
The phase shift angle, φ31, was changed from 0 to π/2 and the 
zero voltage angle, Ω, from 0 to 3π/4 (assuming that the 
voltage of PV port varies from 30 V to 120 V). Fig.9-(d) 
presents the copper loss of the magnetic link for the entire 
operation range calculated by the method outlined in section 
III. It can be seen that in general any increase in the phase 
shift angle and zero voltage angle increases the copper loss 
Ω














































































































          
Fig.10.  Trends of the winding currents in the magnetic link versus phase    Fig.11. Copper loss of magnetic link for different values of φ21 and φ31 
shift angle 
 
although the effect of phase shift angle is more considerable 
compared to that of zero voltage angle. Increasing the zero 
voltage angle at higher phase shift angles raises the amplitude 
of current fundamental component in the PV port which 
results in more effect on the copper loss at higher phase shift 
angles. As expected, the maximum loss takes place at φ31=π/2 
and Ω=3π/4, which is about 62 W. 
     In the second case, the converter operated in the TAB 
mode and both fuel cell and PV ports were active and 
transferred power to the inverter port.
 
The fuel cell port was 
operated with constant phase shift angle and duty ratio 
(φ21=π/2, Ω=0) due to the constant bus voltage. At the PV 
port, the bus voltage, V3, zero voltage angle, Ω, and the phase 
shift angle, φ31, have been changed similar to the previous 
stage.
  
      Fig.10 illustrates the overall trend of the currents in the 
equivalent Δ-model (i21, i13 and i32) and in the windings (i1, i2 
and i3) with the variation of phase shift angle, φ31. As can be 
seen increasing φ31 raises i31 and the power transferred from 
PV to the inverter while i21 remains constant due to the 
constant value of φ21. On the other hand, increasing φ31 
reduces φ23 (as φ23=φ21-φ31) and i32 and consequently the power 
transferred from the fuel cell port to the PV port. Refereeing to 
the Δ-model nodal equations (i1=i13-i21, i2=i21-i32, and i3=i32-
i13), one can see that when φ31 increases, i1 and consequently 
the copper loss in winding one increases while i2 and the 
copper loss in winding two decreases. In winding three, i3 
decreases for phase shift angles less than π/4 and then 
increases. This is because, for small phase values of φ31, the 
power received from port two is more than power transferred 
to port one. At φ*31=φ21/2=π/4 the power received from port 
two and transferred to port one are almost equal. Therefore, 
the average power of the port and the current i3 are minimized 
at this point, and the copper loss of winding three and the total 
copper loss of the magnetic link are minimized at this point. 
As can be seen in Fig.11, the minimum loss point where φ31= 
φ*31 depends on φ21 and always φ*31=φ21/2 where the 
received and transferred powers to the port three are equal.     
Fig.12 presents the resultant winding copper losses and the 
total loss versus the phase shift angle, φ31, and zero voltage 
angle, Ω. As shown in Fig.12 (a)-(b), increasing the phase  
shift angle, φ31, raises the loss in winding one and decreases 
the average power, current and loss of winding two. As 
presented in Fig.12 (c)-(d), the copper loss of winding three 
and the total loss are minimized at φ31= φ*=π/4 due to the 
previous discussions. 
 
VII. EXPERIMENTAL TESTS AND VALIDATION 
 
     A prototype of the proposed micro-grid including three port 
phase shift dc-dc converter and the high-frequency magnetic 
link was developed as presented in Fig.4. The waveforms of 
the TAB converter for the case of D= 1, φ31 = π/3 and φ21 = 
π/5 is presented in Fig.13 and the micro-grid parameters are 
presented in Table.II/Appendix. To reduce the skin and 
proximity effects, Litz wires with the strand diameter of 0.35 
mm (27 AWG) are used. The number of twisted isolated 
strands for windings one, two and three were chosen as 17, 42 
and 28 and their number of turns resulting from the design 
process was 48, 11 and 16 turns, respectively.  
 
A. Measurement of copper loss for DAB and TAB operation 
modes 
 
      To measure the conduction loss of the magnetic link, an 
experimental test platform was established. The current and 
the voltage waveforms are measured by Tektronix current 
measurement probe TCPA300 and high-voltage differential 
probe P5200, respectively. The power was measured by a 
power analyzer PM3000A and the ac resistances of windings, 
related to each of the harmonics is measured by using an 
Instek LCR meter. To validate the analytical methods, a series 
of experimental tests were conducted for two cases of 
operation modes discussed in section VI.
 
To study the effects 
of phase shift and zero voltage angle variations on the total 
copper loss of the magnetic link, the copper loss was measured 
for the DAB and TAB operation modes and the measured 
values are compared with the analytically calculated results. 
Fig.14 shows the theoretically calculated and experimentally 
measured values of the ac resistance of windings one, two and 
three for a frequency range of 10-190 kHz. As can be seen, the 
measurement error increases for higher frequencies although it 
remains less than 5% for the entire measurement range. On the 
other hand, the amplitudes of current harmonics in each 
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Fig.12 Copper loss of the magnetic link where Ω=0 to 3π/4 and φ31= 0 to π/2, (a) winding one (W1), (b) winding two (W2), (c) winding three (W3), and (d) total 
magnetic link 
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Fig.13. The experimentally measured waveforms of the TAB converter for                   Fig.14. Calculated and measured values of resistances of the windings of  
 D= 1, φ31 = π/3, and φ21 = π/5                    magnetic link  
 
winding are measured and compared with the theoretical 
values for a similar frequency range as presented in Fig.15. As 
can be seen in the figure, the measured values of the harmonic 
amplitudes of the current in all three windings of the magnetic 
link presented same trends as analytically calculated results. 
The error between measured and calculated values for higher 
frequency harmonics is slightly increased due to the small 
amplitude of the harmonics and limited accuracy of the 
measurement system (spectrum analyser) which is not 
important due to negligible impact of those harmonics on the 
copper loss. The measured values of ac resistance and 
harmonic amplitude of each harmonic term are used to 
calculate the copper loss attributed to that harmonic and the 
total copper loss of that winding by using (1) and (2). In the 
DAB operation mode, the effect of variation in zero voltage 
angle from 0 to π/2 was experimentally measured for two 
cases of phase shift angles, such as φ31= π/8 and φ31=π/2. The 
measured values are compared with analytically calculated 
values (discussed in section VI-B). The comparison result is 
illustrated in Fig.16 (a). It can be seen that the experimental 
result validates the analytical calculations although the 
resultant error increases at lower values of conduction loss and 
higher zero voltage angles which can be attributed to the 
accuracy of measurement instruments. 
     In the case of TAB operation mode, the effect of phase 
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Fig.15. Calculated and measured values of harmonic amplitudes of the 
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(b) 
Fig.16.Comparison of calculated and measured conduction loss for (a) DAB 
mode (Ω= 0- π/2, φ31= π/8 and φ31=π/2), and (b) TAB mode, (φ21=π/2, φ31= 0- 






























































Fig.17. (a) The ac resistance factor as a function of harmonic order of currents 
in windings one and two based on Dowell analytical method and FEM, and 
(b) normalized copper loss for DAB operation mode versus zero voltage angle 
and TAB operation mode versus phase shift angle.  
 
calculated values in section VI-B. The total copper loss of the 
magnetic link was measured for two cases of Ω= π/10 and Ω= 
3π/4 (maximum loss) where φ21=π/2 and φ31 were changed 
from 0 to π/2. As is presented in Fig.16(b), experimentally 
measured losses showed same trends as the calculations and 
the total loss of the magnetic link is minimized at φ31=π/4 as 
discussed in section VI. The resultant error is about 10% at 
lower phase shift angles and reduces to less than 5% for higher 
phase shift angles. 
   To study the edge effects of the magnetic link on the ac 
resistance of the windings and the total calculated copper loss, 
finite-element method (FEM) simulations are carried out. The 
ac resistance factor (Fr) attributed to each individual harmonic 
of the current in the windings of the magnetic link is 
calculated numerically considering a 2D model of the 
magnetic link using ANSYS Maxwell. The resultant values of 
the ac resistance factor according to the harmonic order for 
each winding are calculated and compared to the analytically 
calculated ones as presented in Fig.17 (a) for windings one 
and three. It was seen that the FEM based results are smaller 
than the analytical values for the all harmonic contents and the 
difference increases for higher order harmonics. On the other 
hand, the total copper loss for each operating point was 
defined by summation of the copper losses of all harmonic 
contents. The process is performed for both DAB and TAB 
operating modes and the results are compared with the  
 
TABLE I 




Differentially coupled and open circuit 
tests 
Cumulatively coupled and open 
circuit tests 
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Fig.18. Experimental tests of magnetic link and related equations (a) secondary open circuit test, (b) primary open circuit test, (c) series coupling-differentially 
coupled test, and (d) series coupling-cumulatively coupled test. 
 
simulations as presented in Fig.17 (b).  As can be seen, the 
results are almost close while the analytical method based on 
the Dowell’s equation overestimates the losses between 5-10 
% (due to the edge effects) depending on the zero-voltage 
angle (Ω) and phase shift angles (φ21 and φ31) range. 
 
B. Measurement of the parameters of the magnetic link 
 
     Due to the dependency of the currents in the windings of 
the magnetic link to the leakage inductances, there is a need to 
measure the leakage inductances of the windings as a function 
of harmonic frequencies. The conventional short and open-
circuit tests lose their accuracy in the case of the large value of 
leakage inductances where the effect of the magnetizing 
inductance cannot be ignored or in the case of unequal 
primary and secondary leakage inductances or winding 
resistances [5],[36]. In these cases, the series-coupling tests 
are recommended due to their accuracy as the primary and 
secondary windings of the transformer are connected 
electrically (referred to Fig8). Therefore, to increase the 
accuracy of the measurements, a combination of open-circuit 
and the differentially and cumulatively coupled tests are used 
as presented in Fig.18. The advantage of the series-coupling 
measurements over the open- and short-circuit tests is that the 
series-coupling tests can additionally be used to factor in the 
effects on the magnetizing and leakage inductances of the core 
excitation [36]. Furthermore, the resistances and inductances 
measured in the series-coupling tests are the algebraic addition 
and subtraction of resistances and inductances in the 
transformer, thus facilitating direct measurement by the meter 
[34]. The tests are performed only for the main harmonic 
frequencies (first five harmonics) and the measurements are 
applied to each pair of the windings while the third winding 
was open-circuited as presented in Fig.18. The impedances 
including separated real and imaginary parts are measured. 
   To find the final value of the parameters related to each 
frequency, a combination of series-coupling and the open-
circuit test results are used based on equations presented in 
table I, where N31 is the turns ratio of the winding three to 
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Core loss TAB mode: 215 W














































Fig.20. Power loss breakdown of the converter  
 
windings one and three respectively and Rm the core loss 
equivalent resistance. Ll1, Ll3 and Lm are the leakage 
inductances of winding one and three and magnetizing 
inductance respectively. The average of the cumulative and 
differential coupled and the open-circuit tests show excellent 
correlation compared to the short-circuit test (maximum of 8% 
standard deviation). Therefore, averaging the resultant values 
from tabulated equations estimates the parameters with 
acceptable accuracy for each particular harmonic frequency. It 
was seen that the measured leakage inductances slightly 
decreased for higher harmonics due to the proximity effects 
although the differences were negligible due to the range of 
the harmonic frequency (less than 100 kHz).  
 
C. Loss breakdown of the proposed micro-grid 
 
      The copper loss of the magnetic link for two cases of DAB 
and TAB operation modes for a wide range of output power 
was measured. The resultant value of the copper loss is used to 
obtain the loss breakdown profile of the dc-dc converter for 
both operation modes. The overall power loss of the converter 
for each operation mode is obtained by measuring the 
difference between the input and output powers.   
     In general, the overall power loss can be divided into five 
components: the copper and core losses of the magnetic link, 
the switching and conduction losses in the switching devices 
and the stray power loss.  The copper loss is measured on a  





















Fig.21. Converter efficiencies for DAB and TAB operation modes versus 
normalized output power 
 
harmonic basis by using the proposed method in the previous 
sections. The core loss of the converter for each operation 
mode (DAB or TAB) can be obtained from the power loss 
curves. The total loss of the converter for a complete range of 
output power in both DAB and TAB modes is normalized to 
the rated value of output power (PO,rated-DAB=1650 W, PO,rated-
TAB=4300 W) and presented in Fig.19. The overall loss data 
can be fitted with a third-order polynomial in the ZVS 
operation region [37]. The overall core loss is obtained by 
extrapolating the fitted polynomial curve to the vertical axis at 
zero output power. This is because the copper loss is almost 
zero at no-load condition neglecting the small copper loss due 
to the magnetizing current of the magnetic link. This is 
because the converter produces this power loss even at zero 
output power if it is possible to extend the ZVS operation to 
the entire range of output power [37]. As can be seen, the core 
losses for the DAB and TAB modes are obtained as 160 W 
and 215 W, respectively. 
     A majority of switching loss in the converter is attributed to 
the turn-off switching time as the converter operates at ZVS 
during turn-on switching times. The switching loss is 
proportional to the switching frequency, fs, and the square of 
the turn-off switching current, Isw, and is calculated based on 
the method presented in [37]. The conduction loss, Pcon, in the 
switching devices is calculated using the measured values of 
current and device datasheet by [38], [39] 
2
,,, rmsCONceavgCCEOcon IRIVP +=     (37) 
 
where VCEO is the IGBT on-state zero-current collector-emitter 
voltage drop and Rce,ON the IGBT collector-emitter On-state 
resistance obtained from the IGBT datasheet [40]. The average 
current, IC,avg, and the RMS current, IC,rms, of the IGBT are 
obtained from the experimental measurement. There are some 
stray losses which can be obtained by subtracting the copper 
loss, core loss, switching loss, and conduction loss from the  
total value of measured power loss. Fig.20 illustrates the 
power loss breakdown of the converter for both operation 
modes. As can be seen, the core loss in the TAB mode 
accounts for about 30 % of the total loss while it increases to 
45 % for the DAB converter. The reason is that the magnetic 
link is designed according to the converter power rating in the 
TAB operation mode (4.5kW). Therefore, the dc-dc converter 
operates with less efficiency in the DAB mode. Fig.21 
 
illustrates the converter efficiency for the DAB and TAB 
operation modes for a complete range of output power. As can 
be seen, the highest efficiency in the TAB mode is about 
87.5% at Po=0.4*PTAB,rated and it reduces to 85.5% at the rated 
power (4300 W). On the other hand, in the DAB mode, the 
efficiency increases for higher output power from 60% at 
Po=0.1*PDAB,rated to 84% at the rated power (1650W). It should 
be noted that the majority of the power loss is attributed to the 
core loss in both operation modes. 




     The copper loss of a multi-winding magnetic link based on 
the Dowell’s equation which takes into account both the skin 
and the proximity effects, and the harmonic contents of the 
excitation waveforms has been presented. The phase shift 
angle, duty ratio and amplitude variation of the excitation 
voltages on the copper loss have been taken into account. The 
temperature effect on the ac resistance factor and the copper 
loss is studied, and it is estimated based on the proportionality 
to the square of the output power although, the resultant error 
was less than 10 %. It was seen that in the case of the DAB 
operation mode, any increase in the phase shift angle and zero 
voltage angle increases the copper loss although, the phase 
shift angle presented more impact. In the case of the TAB 
operation mode, when PV and FC transfer power to the 
inverter port, the copper loss is minimized when their leading 
phase shift angles are equal. Comparing analytical and 
experimental results showed that the analytical method 
provides better accuracy at higher phase shift and lower zero-
voltage angles (error less than     5 %). The loss analysis also 
carried out using FEM to study the edge effects of the 
magnetic link on the ac resistance and copper loss. It was seen 
that the analytical method using Dowell’s equation results in a 
5-10% overestimate of the loss depending on the phase shift 
and zero-voltage angles range. The loss breakdown and 
efficiency range of the converter for both DAB and TAB 
operation modes are obtained. The cumulatively and 
differentially series coupling tests along with the open-circuit 
test have been used to define the dependency of inductive and 





THEORETICAL AND EXPERIMENTAL PARAMETERS 
Description Value 
Electrical Parameters 
Nominal power  4.5 kW 
Nominal power of each winding  PW1=4.5kW, PW2=2.2kW, 
PW3=2.8kW 
Nominal windings voltage  VW1=300±15 V, VW2=60±3 V 
VW3= 100±5 V 
Number of turns  N1 : N2 : N3= 48 : 11 :16  
Magnetic core Ferrite-N87-EE 
Operating frequency  10 kHz 




Lm=  64 µH 
Loss Analysis Parameters 
Litz wire strand diameter 27 AWG / 0.35 mm 
Resistivity factor of copper 1.7*10.E-8 Ω.m 
 conductor 
Conductivity of copper conductor 58.5*10.E+6 Siemens/m 
DC resistance of windings (mΩ) Rdc-w1=52, Rdc-w2=22, Rdc-w3=19 
Permeability of copper conductor 1.256*10.E-6 H.m-1 
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